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The characterization of fatigue resistance is one of the main concerns in 
structural engineering, a concern that is particularly important in the evaluation of 
existing bridge members designed or erected before the development of fatigue design 
provisions. The ability of a structural member to develop alternate load paths after the 
failure of a component is known as member-level or internal redundancy. In fastened 
built-up members, these alternate load paths are affected by the combination of 
fastener pre-tension and friction between the structural member components in 
contact. In this study, a finite element methodology to model and analyze riveted and 
bolted built-up members was developed in ABAQUS and validated with experimental 
results. This methodology was used to created finite element models of three fastened 
plates subjected to tension, in which the middle plate had failed, in order to investigate 
the fundamental effects of combined fastener pre-tension and friction on their 
mechanical behavior. Detailed finite element models of riveted and bolted built-up 
flexural members were created and analyze to understand the effect of fastener pre-




The obtained results showed that bolted members are able to re-
distribute a larger portion of the load away from the failing component into the rest of 
the member than riveted members,  and that this transfer of load also took place over a 
smaller length. Superior pre-tension of bolts, in comparison to rivets, results in larger 
frictional forces that develop at the contact interfaces between components and 
constitute additional alternate load paths that increase member-level redundancy which 
increase the fatigue and fracture resistance of the structural member during the failure 
of one of its components. Although fatigue and fracture potential may be mitigated by 
compressive stresses developing around the fastener hole due to fastener pre-tension, 
it was also observed, that at the surface of the fastener hole and at the contact interface 
with another plate, tensional stresses could develop; however, further computational 
and experimental work should be performed to verify this claim. 
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CHAPTER 1. INTRODUCTION 
 
 
1.1 Problem Statement 
 
One of the main concerns in structural steel engineering is the 
characterization of fatigue resistance and estimation of the remaining fatigue life. This 
problem is particularly critical when it comes to bridges erected during the earlier half of 
the twentieth century, which have been accumulating damage due to the repetitive 
loads associated with traffic. It should also be noted that the early provisions for fatigue 
design were based on limited data from small specimens until the National Cooperative 
Highway Research Program (NCHRP) sponsored fatigue test programs that began at 
Lehigh University in 1968. These tests were initially driven by the research done by John 
W. Fisher and his collaborators since the early 1960's. 
 
The current set of provisions specified by the American Association of 
State Highway and Transportation Officials (AASHTO) for high-cycle load-induced fatigue 
resistance are based on log-log relations between a given stress range and the number 
of cycles (S-N curves) for various types of structural details organized in categories. 
These S-N curves were developed by P. B. Keating and J. W. Fisher (1985) [21] after 
extensive testing with various types of welded details. However, riveted or bolted 
structural details exhibit significantly different behavior. Clamping force at the fastener 





Currently, AASHTO LRFD Bridge Design Specifications [1] and The Manual 
for Bridge Evaluation [2] classify bolted details mainly as a function of the hole 
condition. In general, connections with high-strength bolts designed as slip-critical or 
bearing-type connections fabricated and installed as slip-critical with drilled or 
subpunched and reamed to size holes qualify as category B. All other bolted 
connections, with the exception of eyebar heads, pin plates and gusset plates, are 
considered as category D. In new designs riveted connections are typically considered as 
category D, corresponding to first cracking of a riveted member. For fatigue evaluation, 
riveted connections are included in category C representing cracking that has 
propagated to a critical size. 
 
While the procedure to estimate the fatigue life of a riveted or bolted 
structural detail is well provisioned by AASHTO, guidance with respect to the calculation 
of the remaining fatigue life of the entire structural member after failure of that detail is 
hard to find. In welded built-up members, it can be expected that a flaw could propagate 
through the weld from one component to another, for example, from tension flange 
plate to web plate, after the failure of the detail if cyclic loading persist and there are no 
mechanisms of crack arrest. In fastened built-up members, crack propagation among 
different components is unlikely; typically, when subjected to cyclic loading, cracks will 
form and grow independently in the components subjected to tension; after the failure 
of one component, the remaining fatigue life of the structural member will depend 
mainly on the new stress range for the next most critical detail. 
 
In fastened built-up members, the alternative load carrying mechanisms 
due to internal redundancy, which take place after failure of a component, must be 
investigated to evaluate fatigue and fracture resistance. To do so, it is necessary to 
understand the combined effect of clamping force due to fastener pre-tension and 
friction between plates on the stress range. The focus of this work is the study of these 
features that are characteristic of fastened built-up members. 
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1.2 Objectives and Scope 
 
In this study, several finite element models of built-up structural 
members intended for flexural applications will be developed and analyze using the 
commercial finite element analysis software package ABAQUS. The main objectives of 
this study are (1) developing a finite element methodology validated through 
comparison with data obtained from empiric testing, (2) describing the changes in stress 
distribution after a component has failed and understanding the changes that friction 
and clamping introduce in the mechanical behavior, and (3) detailed finite element 
analysis of fastened built-up members focused on member-level redundancy effects on 
fatigue and fracture resistance. 
 
A review of current methods utilized in structural steel fatigue design and 
evaluation, and previous research focused on fatigue behavior of riveted and bolted 
built-up members was conducted. A methodology for the construction and analysis of 
finite element models of mechanically fastened steel structural members was developed 
and applied to two sets of models. The first set simulates three fastened plates, of which 
the middle plate has failed, and is used to understand the mechanical effects of 
combined fastener pre-tension and friction between components. In the second set, 
finite element models of a riveted girder and a bolted girder were created to validate the 
finite element methodology with experimental results and analyze the effect of fastener 
pre-tension in load re-distribution after the failure of a component. 
 
The results obtained from finite element analysis suggested that, after 
the failure of a component, alternate load paths develop due to frictional forces at the 
contact interfaces between components resulting from the combination of fastener pre-
tension and friction. When sufficient pre-tension is applied to the fastener, these 
alternate load paths significantly increase member-level redundancy which is beneficial 
to the fatigue resistance of the structural member after the failure of a component. 
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CHAPTER 2. BACKGROUND 
 
 
2.1 Important Concepts 
 
Throughout the rest of this document several terms are used repeatedly. 
Therefore, in order to ensure clarity in the contents of the report, contextualized 
definitions of key terms are provided in this section. 
 
Fatigue and fracture are two similar failure mechanisms, both 
characterized by the propagation of a crack-like flaw under tensile or shear stresses. 
Fracture in civil structural engineering is understood as the propagation of a flaw under 
monotonically increasing loads; fracture takes place when a critical stress level, known 
as fracture toughness, is reached, typically at a stress concentration mechanism, thereby 
creating the tip of crack. Depending on the crack propagation speed, fracture can be 
classified as brittle or ductile. Brittle fracture occurs at extremely high crack propagation 
speeds (7000 ft/s in steel) with non-appreciable plastic deformation; ductile fracture is 
defined by the formation of a high plasticity area around the crack tip and considerable 
slower propagation speed [11]. 
 
The Steel Bridge Design Handbook issued by the Federal Highway Administration defines 
fatigue as “the process of initiation and growth of cracks under the action of repetitive 
tensile loads” [8]. Fatigue is a process defined by damage accumulation at a stress 
concentration mechanism and, contrary to fracture, it can occur at very low stress levels 
[11]. Fatigue is usually described as high- cycle or low-cycle fatigue; if the stresses are  
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large enough to cause plastic deformation is considered as low-cycle fatigue, high-cycle 
fatigue is defined by low stresses and primarily elastic deformation requiring over 10000 
cycles for failure to occur [11]. The type of fatigue considered in bridge design and 
evaluation is high-cycle fatigue; low-cycle fatigue is most typically studied in naval and 
aeronautical engineering. 
 
AASHTO makes a distinction between load-induced fatigue, cause by 
stresses within the service load range, and distortion-induced fatigue, due to strains not 
normally computed in design processes and associated with second-order effects [1, 2]. 
Distortion-induced fatigue is avoided by proper detailing as it usually takes place when 
rigid load paths are not able to transmit forces between welded components and 
significant secondary stresses are developed close to the weld [15].  In this study and in 
the reviewed materials, the focus is on load-induced fatigue, particularly on the 
associated changes in service load stress ranges in fastened built-up members. 
 
A concise and universally accepted definition of redundancy does not 
exist in current design or evaluation provisions. In this report, and in the reviewed 
materials, redundancy is understood as the ability of a structure or structural member to 
carry its full design load after the failure of a component. The Steel Design Handbook 
(from the Federal Highway Administration) considers three main redundancy classes; 
load-path, structural and internal redundancy [8]. 
 
Load-path redundancy exists if an alternative load path exists and it has 
sufficient capacity to carry a redistributed load originally carried by a failed member (for 
ex.: deck supported by five closely spaced girders) [8]. Fracture-criticallity is mainly 
associated with the concept of load-path redundancy. If the failure of a member is 
expected to result in the collapse of the structure, that member is denominated as 
fracture-critical. Structural redundancy exists if the failure of a member would just result 
in a change in the supports or boundary conditions, and no collapse takes place (ex.: 
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failure of negative moment region in a two-span continuous girder) [8]. A member is 
internally redundant if the failure of one component does not result in member failure 
due to the presence of alternative internal load paths (ex.: failed flange angle in a bolted 
plate girder) [8]. 
 
 
2.2 Historical Preview 
 
The first published article in fatigue is commonly attributed to W. Albert 
(1837), who studied and reported failure in iron mine-hoist chains due to repeated small 
loads, finding that failure was not associated with sudden overloads and was dependent 
on the number of repetitions of load cycles and load magnitude. Later, W. J. M. Rankine 
examined the failure of railway axles resulting from the Versailles train crash of 1842, 
and documented the growth of small brittle cracks propagating from stress 
concentration sources that contradicted the, at the time widespread, theory of metal 
“recrystallisation”. The observations of Rankine were supported by similar research 
conducted by J. Glynn. However, the acceptance of “recrystallization” inhibited 
significant research until William Fairbairn (1860) showed the weakening effect of 
repeated flexure on large beams due to slow crack growth from incipient defects in 
wrought and cast iron girders. 
 
Contemporarily, A. Wöhler systematically investigated S-N curves, also 
known as Wöhler curves, which related stress with fatigue life expressed in number of 
cycles. Wöhler clearly showed that fatigue occurs by crack growth from surface defects 
until the section can no longer support the applied load, and concluded that the cyclic 
stress range was more critical than the peak stress in fatigue. The work of Wöhler during 
the 1860's and 1870's was used by O. H. Basquin (1910) to propose a log-log relation 




In 1924, A. Palmgren and later, in 1945, A. M. Miner developed the linear 
cumulative damage hypothesis, a phenomenological tool that is still widely used to 
express damage accumulation. Although more advanced probabilistic methods that 
capture the stochastic nature of fatigue and the effect of sudden overloads have been 
developed during the second half of the twentieth century (ex.: the Weibull and 
Birnbaum-Saunders distributions), the application of the rainflow-counting algorithm, 
developed by T. Endo and M. Matsuishi in 1968, to Miner's rule is the most popular 
method in cycle counting applications. The rainflow-counting algorithm, Miner's rule and 
the S-N curves constitute the foundation of most fatigue design and evaluation 
provisions for bridges currently in use. 
 
The modification of A. A. Griffith's fracture theory (1920) by  G. R. Irwin to 
include non-elastic deformations at the crack tip in 1957, which introduced the 
definition of the stress intensity factor, was critical to the use of fracture mechanics to 
explain the rate of growth of fatigue cracks. This is credited to P. C. Paris (1961), who 
proposed a power relation between rate of crack growth and stress intensity factor 
range. In addition to Paris' law, the development of the strip-yield method [10, 14] and 
the concept of the J-Integral [12, 25] established the basis of fitness-for-service 
procedures (ex.: R6, FITNET, BS 7910, API 579) used to assess the propagation potential 
of a flaw under fracture or fatigue. 
 
 
2.3 Fatigue in Riveted Details 
 
In 1989, a study conducted by J. W. Fisher, B. T. Yen and D. Wang 
concluded, after examining experimental data from small-scale and full-scale fatigue and 
fracture tests, that cracking initiation in the net section in riveted built-up members is 
expected when the stress range in the net section exceeds 7 ksi, which corresponds to a 
category D detail [16]. It was also concluded that crack growth up to a critical size in 
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riveted steel members fatigue strength would best fit in category C, and that all of the 
members tested were able to maintain their structural adequacy after cracking in one or 
two tension-carrying components. In the same study, fatigue crack growth was not 
found to appear likely in riveted bridges except when severe corrosion, large secondary 
restraint or significant out-of-plane distortion stresses occur. 
 
In another study carried out by Y. Zhou in 1994 [26], in which new S-N 
curves were developed for riveted members, it was concluded that category D was a 
simple and adequate lower bound for all riveted details, but a S-N curve combining 
category C and D was suggested for steel riveted members. Rivet clamping force was 
determined to be a major factor influencing fatigue strength of riveted members, with 
values ranging between 5 ksi and 24 ksi, and fatigue cracks initiated at the rivets with 
lowest pre-tension. It was also noted that when the effects of rivet clamping and 
frictional effects are insignificant, the conditions at the rivet location approach those of 
an open hole, which is a category D detail. 
 
 
2.4 Fatigue in Bolted Details 
 
Riveted details feature the presence of clamping forces at the rivet holes 
and friction between components, leading to a better response under fatigue loads that 
a hole in a plate. However these behavioral improvements are not considered sufficient 
by AASHTO to upgrade the detail category. A hole and a riveted connection are category 
D details for new designs [1, 2]. Clamping stresses for bolts are much higher than for 
rivets, the pre-tension or clamping stress in high-strength bolts is close the yield strength 
of the bolt material; in other words, for a typical A325 steel bolt is about 65 ksi which is 
much superior than the clamping stress noted by Y. Zhou (1994) [4, 26]. This superior 
clamping force also contributes to the development of high frictional forces between the 
surfaces of the bolted components, improving the detail category up to B [1, 2]. 
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Depending on the slip resistance of the bolted connection, the failure 
could occur at net section, for those connections with low slip resistance, or at the gross 
section if the slip resistance is high enough to prevent significant bearing stresses [22]. In 
both cases, AASHTO provisions consider this details as category B, if the connection is 
fabricated and installed as slip-critical with drilled or subpunched and reamed to size 
holes. If galvanized bolts or punched full size holes are used the detail category falls to D 
under AASHTO provisions [1, 2]. 
 
One important issue suffered by bolted connections is fretting fatigue; a 
phenomenon that takes place between surfaces in contact slipping minimally under 
cyclic loads [20, 22]. The damage at the surface can turn in to a stress concentration 
mechanism, which leads to crack initiation and a reduction in fatigue life. Gordelier and 
Chivers [13, 18] found that the surface conditions play a very important role in fretting 
damage and recommended treating it as a conventional fatigue problem by minimizing 
stress concentration effects as much as possible. 
 
 
2.5 Fatigue Design and Evaluation Procedures 
 
AASHTO and AREMA provisions for load-induced fatigue design and/or 
evaluation of steel members in bridges follow a common procedure based on the 
classification of structural details in different categories [1, 2, 6]. The forces considered 
in the estimation of fatigue life are typically limited to the live load stress range. Residual 
stresses and stress concentration mechanism are not explicitly considered in the analysis 
since their effects are implicitly included through the specification of a threshold stress 
range characteristic of the category. Each detail must satisfy that live load factored stress 





The nominal fatigue resistance, (∆), depends on whether the design is 
for infinite service life or a finite service life. When designing for infinite life, the nominal 
fatigue resistance is a threshold stress range specific to each category. If the design is for 






where  is a constant stress value specific to each detail category and 	 is the number 
of stress cycles for which the design or evaluation is made. 
 
The calculation of the number of stress cycles depends on the expected 
or intended fatigue life, the number of stress range cycles per load passage and an 
effective measurement of load passages per time. AASHTO considers 75 years by default 
for design purposes, but it is not rare to design for a larger number of years. The number 
of stress range cycles produced by the passage of live load is determined by the size, 
location, spacing and type of structural member [1, 2].  The estimated effective number 
of load passages depends on the detail category; in general, as the detail category 
worsens, the number of load passages per time increases. 
 
In civil engineering, more specifically in bridge design and evaluation, 
fatigue resistance assessment provisions are independent of the type of steel or flaw 
dimensions [1, 2, 6]. Other industries, usually related to pipe and vessel fabrication or 
maintenance, have developed provisions and procedures to predict the propagation risk 
of an existing or foreseen defect. These procedures are known as fitness-for-service 
assessment. Some provisions like API 579 [5] deal with a large variety of problems apart 
from crack-like flaws, such as corrosion or weld misalignment. Others, like BS7910 and 




Fitness-for-service fatigue assessment involves the calculation of a failure 
assessment diagram (FAD) that includes an assessment line defining the fatigue 
resistance of the material and assessment points associated with the potential for 
propagation of the flaw [5, 7, 9]. Different types of FAD are considered for fitness-for-
service, known as options or levels, based on the available information to characterize 
the material and whether computational modeling is used or not. The analysis algorithm 
is almost identical among the standards: if the flawed component is not fit under the 
most basic assessment level, more refined assessment is performed until tested by the 
most refined level applicable; as the level of conservatism decreases as the analysis 
becomes more sophisticated. 
 
Fitness-for-service has important potential applications in structural 
evaluation as it can provide a tailored propagation risk assessment for existing cracks. 
However, it is not a regularly used option for structural design since the dimensions and 
type of flaw are inputs to the failure assessment diagram, which will require the 
designer to know or foresee a defect to design for. 
 
 
2.6 Member-Level (Internal) Redundancy in Structural Members 
 
Research aimed at characterizing member-level (internal) redundancy in 
bridges is currently very limited; NCHRP has developed redundancy analysis reports for 
superstructures [17] and substructures [23] associated with load-path and structural 
redundancy respectively. Most of the literature found on the subject of internal 






CHAPTER 3. METHODOLOGY 
 
Finite element modeling with commercial software (ABAQUS) constitutes 
the basis of this research. In this section, the most critical issues regarding the 
development of these models are explained, as well as the experiments and data utilized 
to validate them. 
 
 
3.1 Analysis Procedure 
 
The experiments modeled were short-duration quasi-static tests on 
riveted and bolted structural members. In these experiments, inertial effects and time-
dependent behavior (ex.: creep) can be neglected. Finite element implicit static analysis, 
in which all of the applied work results in strain energy assuming zero kinetic energy, are 
the ideal and most comprehensive method to solve this problems. However, when a 
large number of contact interactions are considered, convergence of the solution 
becomes a troublesome issue. The finite element models constructed for this project 
utilize explicit dynamic analysis; in which inertial effects are considered. In general, an 
explicit integration method calculates the state of a system at the end of a time 
increment using information from the beginning of the time increment, and an implicit 
method solves an equation that involves the state of the system at the beginning and 
end of a time increment simultaneously. 
 
The explicit dynamics procedure performs a very large number of small 
time increments very fast. In ABAQUS, the explicit dynamic analysis procedure is based 
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upon the implementation of the explicit central-difference time integration rule together 
with the use of a constant diagonal element mass matrix , where 	 and  are the 
number of nodes in the system, and internal and external force vectors [3]. The equation 
of equilibrium to be solved is: 
 
 + −  = 0, 
 
where  is the assembled diagonal element mass matrix,  is the vector of nodal 
accelerations,  is the assembled element stiffness matrix,  is the vector of nodal 
displacements and  is the applied load vector. 
 
At the beginning of an increment  of duration ∆() the specified loads 
are used to generate the applied load vector, () , and the internal force vector, () , is 
computed from the product of the assembled element stiffness matrix, (), and the 
nodal displacement vector, () . The vector of nodal accelerations  ()  is computed as: 
 
 () = ()() − () , () = ()()  
  
The vector of nodal velocities halfway through the current time 
increment,  !"#$% , is calculated using the accelerations previously computed,  () , and 
the velocities computed halfway through the previous time increment,  !#$% , as: 
 
 !"&% =  !&% +
∆(") + ∆()2  ()  
 
The vector of nodal displacements at the end of the time increment, 
	(") , is calculated by updating the displacements at the beginning of the time 
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increment, () , with the velocities calculated halfway through the current time 
increment,  !"#$% , as: 
 
(") = () + ∆(") !"&%  
 
Once the displacements at the end of the increment are computed the 
internal force vector is updated accordingly, the applied load vector is modified to 
account for load variations through the time step and the procedure is repeated until 
the total time step is completed.  The superior computational efficiency of this method 
is not only due to the use of explicit integration rules, but also due to the use of easily 
invertible diagonal mass matrices and the use of internal force vectors in the 
implementation of the explicit integration algorithm. In the implicit methods non-
diagonal stiffness matrices need to be inverted during the solution procedure, the 
inversion of these non-diagonal stiffness matrices computationally very expensive. If the 
increments are sufficiently small, results of a quasi-static model from an explicit dynamic 
analysis and an implicit static analysis are similar as long as inertial effects are negligible 
[3]. In this study, experimental data is used to validate the explicit numerical models. 
 
The major shortcoming of explicit dynamic integration schemes is that 
their stability is conditional and can only be guaranteed for linear systems if the time 
step is below a certain limit, dictated by the maximum frequency of the system and the 
nodal critical damping ratio associated with that frequency: 
 






where *+,- is the maximum frequency in the system and 0+,- is the fraction of critical 
damping in the mode with the highest frequency. This stability requirement is handled in 
ABAQUS as the time step is automatically set to remain below the critical limit [3]. 
 
Although the explicit dynamic procedure implemented in ABAQUS is 
significantly more efficient than the implicit (standard) static procedure for quasi-static 
problems some issues can arise in large models with small element discretization. Firstly, 
smaller elements have smaller stable time increments which, if the finite element model 
is large, significantly reduce the efficacy of the explicit dynamic solution procedure. 
Secondly, for load-controlled explicit dynamic models the application of the load must 
be performed in a very gradual manner to avoid large inertial effects. These two issues 
were solved by using mass scaling and mass proportional damping. 
 
 
3.1.1 Mass Scaling 
 
Since the finite elements models constructed in this study have relatively 
small elements with very small stable time increments, a procedure that artificially 
increases the stable time increment was needed such that the performed simulations 
could be completed in an acceptable time. This procedure is known as mass scaling, and 
involves improving the stable time increment by artificially increasing the density of the 





where 34 is the smallest characteristic length of the element and 56 is the dilatational 




56 = 789, 
 
where 8 is the elastic modulus and 9 is the material density. Hence, if the material 
density is increased at an element, the dilatational speed is decreased resulting in a 
larger stable time increment for the element. 
 
ABAQUS has the capability of selectively mass scaling different elements 
such that a target stable time increment is reached. In this study the target stable time 
increment was specified so for each loading step about 10000 increments were 
computed by the ABAQUS solver (ex.: for a load increase with a duration of 1 unit of 
time, the target stable time increment was 0.00001). One issue that could arise from the 
use of mass scaling, particularly in the presence of relatively high loading rates, is the 
increase of inertia effects. In other words, the kinetic energy increases considerably and 
leads to a non-quasi-static process [3]. This problem was handled through the 
specification of material damping coefficients which dissipated kinetic energy in the 
form of viscous damping. 
 
 
3.1.2 Mass Proportional Damping 
 
During the development of the finite element models it was observed 
that load-controlled models of flexural members showed significant oscillation at low 
frequencies; however, oscillatory behavior was not observed in displacement-controlled 
models. Material damping was used to obtain qualitatively accurate results that 
resemble quasi-static loading of flexural members. Several choices are available in 
ABAQUS: mass proportional, stiffness proportional and structural damping (combining 
mass proportional and stiffness proportional damping leads to Raleigh damping). 
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The chosen form of damping was mass proportional damping, specified 
by a factor :;, which introduces damping forces proportional to the absolute velocity of 
the model, as if the model was moving through a “viscous ether”. Mass proportional 
damping has a significantly higher effect on the lower oscillatory modes (and 
frequencies) than on the higher modes [3]; this is very advantageous since high critical 
damping ratios at the high frequencies decrease the minimum stable time increment. 
 
In the models in which damping was needed, the mass proportional 
damping was calculated from: 
 
:; = 2*+0, 
 
where *+ is the natural frequency of the system, calculated from a trial simulation, 
and 0 is the desired damping ratio to be applied. The applied damping ratio was about 
0.8; ideally a damping ratio of 1.0 should be applied since critically damped systems 
would converge to zero as fast as possible without oscillating, but over-damping was to 
be avoided. The use of a damping ratio of 0.8 and allowing the system to stabilize after 
the application of load yielded qualitatively accurate results. 
 
 
3.2 Material Modeling 
 
Material modeling in a dynamic explicit stress/displacement finite 
element analysis requires the specification of material density, elastic material 
properties, inelastic material properties and material damping coefficients. The material 









, as required by ABAQUS unit convention) was used for all components. All 
materials were assumed to have initial isotropic linear elastic properties, 29000 ksi was 
used for the modulus of elasticity and the Poison’s ratio was assumed to be 0.3. No 
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material damping was used unless significant oscillation at low frequency was observed 
in the results, in which case mass proportional material damping was used as explained 
in section 3.1.2. 
 
Inelastic material properties were only specified at the sections where 
plastic deformation was expected; as detailed in subsection 3.7.2. In these areas, the 
tabular values of true stress and plastic strain were input into a plasticity model that 
assumed isotropic Mises (J2-dependent) with isotropic hardening. The tabular data was 
calculated by fitting a Ramberg-Osgood relation with yield stress, ultimate stress and 
maximum strain, and subtracting the linear elastic strain from the total true strain. 
 
 The Ramberg-Osgood model and the equations for the calculation of the 
necessary material constant were adapted from R6 [7, 9]. In the equation, strain is a 
function of stress, < = (=), with the yield strength, =>, modulus of elasticity, 8, and a 
work hardening exponential characteristic of the material, 	, are constants, as shown in 
the following equations: 
 
<<? = ==> + 0.002<? A ==>B
 C , <? = =>8  
 
 The true ultimate stress and strain, =D,E  and <D,E, were calculated from 
nominal ultimate stress and maximum elongation values, =D and <D, obtained from 
material tensile tests by the following equations:  
 





The associated work hardening exponent, 	 , for a 0.002 assumed yield 
offset was obtained from: 
 
	 = ln	(=D,E =>⁄ )ln	[(<D,E − =D,E =>⁄ )/0.002], 
 
where => is the yield strength. The total strain, <, and plastic strain, <L, values 
corresponding to stress values were computed by the following equations, adapted from 
the Ramberg-Osgood equation: 
 
< = =8 + 0.002 A ==>B
 ⁄
 
<L = < − =8 
 




3.3 Finite Elements and Meshes Used 
  
Solid continuum elements that consider large deformation theory were 
used to model all of the components, shell elements were initially considered for the 
regions in which contact and inelastic material properties were not used, but the use of 
shell-to-solid coupling in ABAQUS explicit dynamic models exhibited problems. Very 
large local stresses and deformations in the vicinity of the coupling were observed; these 
large stresses and deformations affected the overall behavior of the system. An example 





Figure 3.3-1. Localized deformation and stress concentration at shell-to-solid coupling. 
 
The type of solid continuum element used was an 8-node linear (first-
order) brick (hexahedron) with reduced integration and hourglass control, which in 
ABAQUS is identified as CR3D8R. ABAQUS only offers linear brick elements for explicit 
dynamic simulations. Reduced integration was chosen in order to avoid shear or 
volumetric locking; with one integration point located at the centroid of the element. 
The use of tetrahedral and wedge (pentahedral) elements was not considered since the 
constant stress formulation of these would require very fine meshes to provide accurate 
results. A sketch of the element used is shown in Figure 3.3-2. 
 
 





The swept meshing technique was used to mesh all of the components, 
ABAQUS offers two sweeping algorithms for hexahedral elements: medial axis and 
advancing front. The majority of the components in the developed models were meshed 
using the medial axis algorithm which decomposes the partition into simpler regions 
where structured meshing can be applied. If the resulting mesh from the application of 
the medial axis algorithm was not satisfactory due to the generation of distorted 
elements, the advancing front algorithm is used. The advancing front algorithm 
generates hexahedral (or quadrilateral, in two dimensions) elements at the boundary of 
the partition and continues to “fill” the partitions from the boundary to the inside. 
Figure 3.3-2 shows two different swept meshes around a hole generated by the medial 
axis and the advancing front algorithms. 
 
   




A minimum of 6 elements were utilized for the smallest dimension of 
every component and finer meshes were used in the vicinity of holes and for rivets and 
bolts in order to provide sufficient elements for contact modeling. A sample detail of the 
utilized meshes is pictured in figure 3.3-4. 
 
 
Figure 3.3-4. Mesh detail of the bottom flange of a riveted floor beam. 
 
 
3.4 Contact Interactions 
 
The load transfer mechanisms in riveted and bolted structural members 
are governed by contact between the different components. For the scope of this 
project, ensuring that contact was properly modeled was a priority in the development 
of the finite element models used. ABAQUS has two main approaches for the simulation 
of contact in explicit models: the general contact and contact pair algorithm [3]. Both 
contact approaches require specifying the surfaces that are to be included in the 




The main difference between both approaches lies in the specification of 
the interacting surfaces. While general contact can be simply defined by identifying a 
domain in the model, the contact pair approach requires every potential contact surface 
and every potential interaction to be explicitly defined. In the models that were 
developed, the use of contact pairs is very impractical since the number of potential 
interactions could be in the hundreds, which not only requires much more effort than 
defining a domain but could also be a source of modeling errors. The general contact 
algorithm uses a tracking algorithm to detect contact interactions and ensure efficient 
contact resolution; it is restricted to three-dimensional models with mechanical finite-
sliding contact [3]. 
 
The default contact surface properties for general contact, which assume 
that the surfaces were smooth with the same material properties as the rest of the 
component they belong to and thinning of the component was not significant, were 
concluded to be sufficient for the finite element analysis. Special surface properties are 
typically specified in sheet forming analysis, in which the thinning of a sheet significantly 
influences contact, or when structural elements like shells are employed. The general 
contact algorithm offers the possibility of tailoring the contact controls for cases in which 
large deformations resulting from contact forces or large penetrations may occur; these 
may be changed for penalty stiffness scaling, non-default tracking of node-to-face or 
edge-to-edge contact (ex.: needle penetrating a membrane), nodal erosion or fold 
inversion (ex.: thin metal cylinder compressive collapse) [3], but most of these issues are 
related to forming analyses and were not in the scope of the project. 
 
The contact pressure-over-closure relationship in ABAQUS is the “hard” 
contact model, which implies that contact pressure does not take place unless the nodes 
in the slave surface contact the master surface, no penetration is “allowed” and there is 
no limit on the magnitude of contact pressure. In the contact implementation, the 
surface-to-surface algorithm was used, meaning that two passes in which the master 
24 
 
and slave surfaces are alternated in the enforcement algorithm. This procedure is 
sketched in Figure 3.4-1. 
 
 
Figure 3.4-1. Enforcement of surface-to-surface nodal penetration adjustments. 
 
The contact constraint enforcement method available in ABAQUS for 
general contact in explicit models is the penalty contact algorithm, in which once a slave 
node has penetrated the master surface a force M, normal to the master surface and 
opposing the penetration ℎ, is generated, this force is proportional to the penetration by 
a stiffness value O which is significantly larger than the representative stiffness of the 
element underlying the master surface. This is expressed in the following equations [3]: 
 
M = 0, PQR	ℎ < 0 






The contact constraint is enforced with a Lagrange multiplier representing 
the contact pressure, in which the virtual work contribution, UΠ, to be minimized is [3]: 
 
UΠ = UMℎ + MUℎ 
 
When frictional behavior is included, the Coulomb friction model and 
friction coefficient is specified. In that case, in order for sliding to occur, the shear 
traction at the contact interface, , must be greater than a force parallel to the master 
surface and related to the penalty normal force, M, by the friction coefficient, W. This is 
expressed as: 
 
 − WM X 0, PQR	YZ[\] 
 
and illustrated in Figure 3.4-2. 
 
 








3.4.1 Experimental Validation of Contact Enforcement in ABAQUS 
 
In order to show that the application of general contact to explicit 
dynamic finite element analysis in ABAQUS is a valid modeling technique for the 
behavior of fastened connections, single shear force-displacement data obtained from 
the Appendix C in the NCHRP Web-Only Document 197 [24] was compared with the 
results from finite element analysis. In the experiments modeled, a rivet fastened to two 
plates was subjected to single shear loading. One of the plates had a thickness of 1” and 
the other was either 0.375” or 0.5” thick, the distance from the center of the rivet hole 
to the edge of the plate was either 1.5” or 3.0”, and the rivet hole had a finished 
diameter of 0.9375”. A summary of the considered cases can be found in the Table 3.4.1-
1, the testing apparatus is shown in Figure 3.4.1-1 and a picture of the finite element 
model results can be found in Figure 3.4.1-2. 
 
Table 3.4.1-1. Summary of cases considered for comparison. 
Case 
Thickness of thinner 
plate 
Distance from center of rivet hole to edge of thinner 
plate 
A 0.375 in 1.5 in 
B 0.5 in 1.5 in 
C 0.375 in 3 in 




Figure 3.4.1-1. Testing configuration for single shear test. 





Figure 3.4.1-2. Detail of deformed configuration of a single shear test model. 
Deformation scaled 30 times. 
 
Since no stress-strain data was available, all of the components were 
modeled as linear elastic, with modulus of elasticity of 29000 ksi and Poison’s ratio of 
0.3, and the comparison between experimental data and finite element results was 
focused on small loads at which plastic deformation in the vicinity of the rivet bearing 
interface is negligible. No pre-tension was applied to the rivet since the main mechanism 
of load transfer for this particular testing set-up is the contact between the rivet and the 
plates. Figures 3.4.1-3, 3.4.1-4, 3.4.1-5 and 3.4.1-6 show the comparison between for 





Figure 3.4.1-3. Comparison between FEA results and experiment for case A.  
 
 







































Figure 3.4.1-5. Comparison between FEA results and experiment for case C. 
 
 
Figure 3.4.1-6. Comparison between FEA results and experiment for case D. 
 
As can be seen in the previously shown figures (3.4.1-3 to 3.4.1-6), the 
application of the general contact algorithm as explained in this section shows good 
agreement with experimental data. The obtained results are most similar in the case of 





































better hole condition. The rivets were hot driven, a procedure that damages the 
perimeter of the hole and will have a larger effect in thinner plates. For the scope of this 
project, the comparison between experimental data and the results from explicit 
dynamic finite element simulation in which the general contact algorithm was utilized 
was considered satisfactory. 
 
 
3.5 Rivet and Bolt Pre-Tension Modeling 
 
The mechanisms for load transfer involving friction are heavily dependent 
in the amount of clamping a rivet applies on the fastened components, modeling bolt 
and rivet pre-tension is important in order to characterize the internal redundancy in 
fastened built-up members. The technique used in this study is based on the application 
of a predefined temperature field and the specification of a thermal expansion 
coefficient in the material properties. Since no material properties are defined as 
temperature dependent, the effect of specifying a decreasing temperature at the nodes 
in the stem of a rivet or a bolt is analogous to the development of clamping forces due 
to fastener tightening. The specified temperature values and thermal expansion 
coefficients input to the developed finite element models have no physical meaning and 
are merely utilized to develop the necessary clamping forces before any loads are 
applied. 
 
The applied pre-tension for rivets is approximately 15 ksi, which is the 
average pre-tension for rivets reported by Y. Zhou [26]. The applied pre-tension for bolts 







3.6 Experimental Data 
 
A portion of the finite element models developed in this study is based on 
actual floor beams and girders tested at the Bowen Laboratory (Purdue University) by 
Matt Hebdon under the supervision of Prof. Robert J. Connor. In these tests, an initial 
defect in the flexural member, located at the edges of holes in the cover plate, was 
subjected to fatigue loading until failure of the structural member. The flexural members 
were occasionally cooled down to lower-shelf temperatures and tested for fracture 
under the fatigue load range. Static tests were performed at several stages along the 
failure process. Stress gage readings obtained from these static tests are used in this 
study. Sketches of the flexural members tested are included in Appendix B. 
 
The material modeling inputs are based on tensile test performed on 
samples of the materials utilized in the fabrication of the tested flexural members, with 
the exception of the rivets and bolt materials, details regarding the construction of the 
material models can be found in Appendix A. The boundary conditions, loads, contact 
properties and mesh constraints specified in the finite element models where designed 
to replicate the static test performed on the experimentally tested flexural members, 
these details are explained in section 3.7.2. Pictures of the experimental set-up are 





Figure 3.6-1. Experimental set-up used in experiments carried by Matt Hebdon (1/2). 
 
 




3.7 Finite Element Models Developed 
 
Two sets of finite element models were created in this study. The first set 
consist of six cases modeling three fastened plates in tension where the type of fastener, 
the friction coefficient between plates and the fastener pre-tension were changed. The 
second set of finite element models consists of two built-up flexural members, one 
riveted and one fastened, for which experimental data exist. The purpose of the first set 
of models is to study the fundamental effects of combined friction and fastener pre-
tension in cases with simple loading conditions. The second set of finite element models 
was developed to establish whether the current modeling method is able to characterize 
the behavior of flexural built-up members and examine their ability to develop 
alternative load carrying mechanisms during the growth of fatigue cracks. 
 
 
3.7.1 Finite Element Modeling of Three Fastened Plates in Tension 
 
This set of finite element models simulate the mechanical behavior of 
three fastened plates, of which the middle plate has failed, loaded with an applied 
tension of 10 ksi. The models use half-symmetry with the symmetry plane located at the 
failure section. Six cases with different types of fastener, friction coefficient and fastener 
pre-tension were tested to study their effects on several parameters. These parameters 
are the number of fasteners required to transfer the load from the non-failed (top and 
bottom) plates to the failed (middle) plate, the stress concentrations at the edge of the 
fastener holes, the through-thickness stress distribution after load transfer has taken 
place and the stresses tangential to the surface of the fastener holes. 
 
The geometry of this set of finite element models is composed by three 
fastened plates; each plate is 42 inches long, 6 inches wide and 0.5 inches thick. The 
fastener holes are 0.9375 inches in diameter and are spaced 3 inches from center to 
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center of hole, with a “half hole” and a "half rivet" at the failure section. Figure 3.7.1-1 
shows a sketch of the geometry of the plates and the sections were the boundary 
conditions are applied. Two types of fasteners were utilized, a rivet with a diameter of 
0.9375 inches and a bolt with a diameter of 0.875 inches. Figure 3.7.1-2 shows sketches 
for the rivet and bolt utilized with more detailed dimensions. 
 
 




Figure 3.7.1-2. Sketch and dimensions of fasteners used in finite element models. 
 
Two sets of boundary conditions were specified for all of the models 
described in this section. At the failure plane, the displacement in the 1-direction was 
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specified as zero for the top and bottom plate surfaces and the surface of the middle 
plate is free to displace. At the loading plane, the displacements in the 2-direction and 3-
direction were specified as zero and a surface traction of 10 ksi was applied to three 
plate surfaces. Figure 3.7.1-3 shows a sketch of the sections and the boundary 
conditions specified. This set of boundary conditions take advantage of half-symmetry, 




Figure 3.7.1-3. Boundary conditions applied. 
 
All of the components in this set of finite element models were idealized 
as linear elastic, with a Young’s modulus of 29000 ksi and a Poison’s ratio of 0.3. The 









required by ABAQUS unit convention). No material damping coefficients were utilized in 
any of the models described in this section since the kinetic energy was negligible and 
no oscillatory behavior was observed. 
 
Of the six models developed, cases A, B and C were riveted, and cases D, 
E and F were bolted. Case A simulates three riveted plates in which the rivet has zero 
pre-tension and the plates are lubricated. Cases B and C simulate three riveted plates in 
which the rivet pre-tension was assumed to be 15 ksi, based on the experiments carried 
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out by Zhou (1994) [26], and the plates are not lubricated. Case D simulates three bolted 
plates in which the bolts are not pre-tensioned, “snug-tight”, and the plates are 
lubricated. In cases E and F, the bolts are pre-loaded to the minimum specified by the 
AISC Steel Construction Manual [4] and the plates are not lubricated. In cases C and F, 
the fastener located at the failure plane was excluded, to simulate the situation in which 
the fastener is severely damaged and is not able to apply any clamping. The friction 
coefficients for lubricated steel was assumed to be 0.16 and for non-lubricated steel as 
0.8 [19]. Table 3.7.1-1 summarizes the differences among the different cases modeled. 
 
Table 3.7.1-1. Summary of tension cases modeled. 
CASE FASTENER PRE-TENSION FRICTION COEFF. DETAILS 
A Rivet 0 ksi 0.16 - 
B Rivet 15 ksi 0.80 - 
C Rivet 15 ksi 0.80 No rivet at failure plane 
D Bolt 0 ksi 0.16 - 
E Bolt 65 ksi 0.80 - 
F Bolt 65 ksi 0.80 No bolt at failure plane 
 
The mesh geometries used are very similar for all of the cases modeled, 
with 6 elements through the plate thickness, 24 elements along the perimeter of the 
holes, 18 elements along the stem of the fastener and a maximum element edge size of 
0.5 inches. Figure 3.7.1-4 illustrates the typical meshes for the riveted and bolted cases. 
However, for the study of stresses tangential to the surface of the fastener holes, results 




Figure 3.7.1-4. Mesh details for riveted models (left) and bolted models (right). 
 
 
3.7.2 Finite Element Modeling of Fastened Built-Up Flexural Members 
 
Finite element models of riveted and bolted built-up flexural members 
were created to validate the modeling methods employed in this study and investigate 
the mechanical behavioral differences between riveted and bolted members. 
Experimental measurements from static load test were compared with results from 
finite element analysis to validate the modeling techniques used. The main parameters 
used to investigate the difference between riveted and bolted flexural members were 
the number of fasteners required to transfer the load from the non-failed components 
to a failed component, the location of the sections most susceptible to fatigue or 
fractures damage after the failure of a component and the force carried by the 
component to fail as fatigue cracks grow. 
 
The geometry of the built-up members is the same in both cases; the only 
change is the type of fastener utilized, rivets or bolts. These built-up members were 
constituted of a web plate, a top flange plate welded to the web plate and a bottom 
flange built from a pair of angles fastened to the web plate and a cover plate fastened to 
the flange angles. The members were supported at their ends by rollers and loaded at 
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two points, with point located 4 feet from the mid-span of the member. Local buckling 
was prevented in the experiments by placing lumber “four-by-fours” between the top 
and the bottom flanges at the loading and support locations, acting as stiffeners. 
Sketches of the members utilized in the experiments can be found in Appendix B. Since 
the main focus is paid to the cover plate and in an effort to keep the model as light as 
possible, the top flange plate and the web plate were constructed as a single solid 
section in the finite element models. All filleted or chamfered edges were modeled as 90 
degree corners and quarter-symmetry was utilized. Dimensioned sketches of the 
geometries utilized in the finite element analysis can be found in Figure 3.7.2-1 and 
Figure 3.7.2-2. The dimensions of fasteners used in the finite element models of built-up 
members are the same as in the models described in section 3.7.1, see Figure 3.7.1-2, 
for holes 0.9375 inches in diameter. A three-dimensional illustration of the finite 
















Figure 3.7.2-3. Three-dimensional illustration of the riveted built-up FE model. 
 
In the experiments, notches were cut in the cover plate at mid-span to 
commence fatigue damage. These notches were cut at the edges of the fastener holes as 
illustrated in Figure 3.7.2-4. The flexural member was then subjected to cyclic fatigue 
loading, with a bottom load of 80 kips and a peak load of 180 kips per actuator, each 
actuator was placed 4 feet away from the midspan, until the specimen failed. Stress 
range gage measurements were taken at several stages of crack growth, the locations of 
the stress gages which measurements are reported in this study are shown in Figure 
3.7.2-5. The measurements reported in this study are taken before any crack growth 
happened and right after the failure of the cover plate; by failure of the cover plate, it is 





Figure 3.7.2-4. Notches cut at cover plate mid-length. 
 
 
Figure 3.7.2-5. Location of the gages which measurement are reported. 
 
Five sets of displacement boundary conditions were specified for each of 
the built-up members modeled. Two of the sets are used to take advantage of the two 
planes of symmetry in the model, the other sets are used to characterize the rolling 
support conditions at one end, prevent localized buckling at the regions were load is 
applied and to simulate the conditions at the failure section in the cover plate as fatigue 
cracks propagate. The only load applied to the model is a point load located 28 inches (4 
feet) away from the failure plane (or midspan) on the top surface of the top flange plate. 
These boundary conditions are illustrated in Figure 3.7.3-6. The progression of fatigue 
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damage at the failure section in the cover plate is modeled by gradually releasing 
displacement constraints; firstly the displacement normal to the section is fully 
constraint corresponding with the lack of fatigue damage, then the constraint is released 
in intervals of 20% of the net section closest to the fastener hole at the plane until the 
section has completely failed. Figure 3.7.3-7 illustrates this procedure. 
 
 





Figure 3.7.2-7. Displacement boundary conditions in the cover plate at failure section. 
 
The interaction among cover plate, bottom flange angle, web plate and 
fasteners was modeled through the general contact algorithm with the penalty stiffness 
contact enforcing method up to the edge of the cover plate (138 inches from the failure 
plane, midspan). For the remaining length, a mesh-tie constraint was specified at the 
interface between the web plate and the flange angle, no fasteners or contact were 
modeled in this region. In the regions where the contact algorithm was used, the 
specified friction coefficient was 0.8, typical for steel-to-steel dry friction [19]. Rivets 
were pre-tensioned to 15 ksi [26] and bolts were pre-tensioned to 65 ksi [4], as in the 




A linear elastic material model was specified for all of the instances in the 
FE models, except for the cover plate and the bottom flange angle in the region where 
contact was modeled, because distinguishable plastic deformation outside of the crack 
vicinity was not expected nor observed in the experiments. For the cover plate and the 
bottom flange angle a linear elastic-isotropic plastic material model was specified as 
indicated in section 3.2, the material data sheets can be found in Appendix A. All 
materials modeled had a Young’s modulus of 29000 ksi and a Poison’s ratio of 0.3. The 









required by ABAQUS unit convention). Mass proportional material damping of 10 s
-1
 was 
specified in order to dissipate kinetic energy as indicated in section 3.1.2 corresponding 
with a critical damping coefficient of 0.8. The mesh geometries used are almost identical 
for the model of the riveted member and the bolted member, with 6 elements through 
the plate thickness, 24 elements along the perimeter of the holes, 18 elements along the 
stem of the fastener and a maximum element edge size of 0.5 inches. Figure 3.7.2-8 
illustrates mesh details for both of finite element models. 
 
 




A total number of four finite element models were built, two riveted 
members, one loaded to 40 kips and another to 90 kips, and two bolted members, one 
loaded to 40 kips and another to 90 kips. The stress ranges discussed in the following 
sections are calculated by subtracting the stresses computed in the 40 kips models from 
the stresses computed in the 90 kips models. The full analysis of each finite element 
model is comprised of seven load steps. In the first step, the fastener pre-tension is 
applied as described in section 3.5. The load, 40 kips or 90 kips, is applied at the location 
shown in Figure 3.7.2-6 in the second step. In the rest of steps, the displacement 










CHAPTER 4. RESULTS AND DISCUSSION 
 
The results obtained from the finite element models described in section 
3.7 and developed according to the methods explained throughout chapter 3 are 
presented and discussed next. Firstly, the results from finite element models of the three 
fastened plates in tension described in subsection 3.7.1 are used to illustrate basic 
mechanical behavioral differences resulting from the combined action of fastener pre-
tension and friction between components. Secondly, the application of the methods 
discussed in chapter 3 to model flexural fastened members is validated through 
comparison with experimental results. These finite element models, which are described 
in section 3.7.2, are also used to analyze how the fastener employed affects the 
member-level redundancy and load-transfer ability of the structural member. 
 
 
4.1 Results and Discussion of Finite Element Models of Three Plates in Tension 
 
Four sets of results are presented and discussed in this section for the six 
models described in section 3.7.1 and summarized in Table 3.7.1-1. In the first and 
second set of results, the longitudinal normal stress along the length of the plates is 
used to discuss the effect of combined fastener pre-tension and friction on the transfer 
of load from a failed component, the middle plate, to the other components, top and 
bottom plates. Next, the longitudinal normal stress profile between the last and second-
to-last fastener is used to assess the influence of friction and fastener pre-tension in the 
stress distribution along the thickness of the plates. Finally, attention will be paid to the 
tangential stresses around the fasteners’ holes resulting from fastener pre-tension; in 
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these, finite element models with finer meshes are utilized due to the high mesh 
sensitivity of these results. 
 
 
4.1.1 Longitudinal Normal Stress Calculated along the Center of the Plates 
 
In this subsection we focus on the transfer of load from a failed 
component to the remaining components. In order to characterize load transfer, we 
examine the stress trough the center and along the length of the plates. The stress 
component of interest is the normal component aligned with the loading direction, the 
path from which this data points are extracted goes from the center of a plate at the 
failure plane to the loading plane as illustrated in Figure 4.1.1-1. 
 
 
Figure 4.1.1-1. Longitudinal normal stress output paths along the center of each plate. 
 
In the following figures, Figure 4.1.1-2 to Figure 4.1.1-7, the longitudinal 
normal stress along the top plate and bottom plate paths are averaged, and presented 
as a single curve for simplicity. The difference in the calculated stress values for the top 
plate and bottom plate paths is negligible. The criteria for the calculation of the load-
transfer length is based on the difference between the stress values, computed at points 
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located halfway between two fastener locations, in the non-failed plates and the failed 
plate. Once this difference does not increase by more than 0.5 ksi, which is 5% of the 
applied tensile stress (10 ksi), or decreases, the transfer of load from the non-failed 
plates into the failed plate is considered completed. 
 
The results for Case A, in which the fasteners were “loose” rivets and very 
low friction was modeled (coefficient of friction is 0.16), are shown in Figure 4.1.1-2. 
According to the criteria previously described, the transfer of load from the non-failed 
(top and bottom) plates to the failed (middle) is completed in the first 16.5 inches from 
the failure plane (point X), which means that the transfer of load takes place over the 
first six fasteners from the failure plane. Almost the entirety of the load is transferred 
through rivet bearing, since very low friction was modeled. A maximum compressive 
stress of 22.9 ksi, taking place right before the first fastener in the failed plate (point Y), 
was calculated by the finite element model. A maximum tensile stress of 9.6 ksi takes 




Figure 4.1.1-2. Longitudinal normal stress along the center of the plates for Case A. 
 
In figure 4.1.1-3, the results for Case B are presented. In Case B, the rivet 
pre-tension was 15 ksi and a friction coefficient of 0.8 was employed. The transfer of 
load takes place within the first 10.5 inches from the failure plane (point X), which 
means that four rivets are required to transfer the load from the non-failed components 
to the failed components. The maximum compressive stress takes place in the failed 
plate before the first rivet (point Y) and has a value of -1.5 ksi. The maximum tensile 
stress takes place between the failure plane and the first rivet (point Z) and has a 
magnitude of 10.6 ksi. Given the very low values of compressive stress calculated by the 
finite element model, it can be deduced that the combination of friction and fastener 
pre-tension is the main mechanism for transferring load among the components and 














































Figure 4.1.1-3. Longitudinal normal stress along the center of the plates for Case B. 
 
The results for Case C are shown in Figure 4.1.1-4; Case C is identical to 
Case B except that the first rivet is not modeled, representing a condition in which the 
rivet at the failure plane cannot carry any load. In this case, the transfers of load takes 
place over 10.5 inches (point X), requiring four rivets, same number of fasteners as in 
Case B. However, the maximum compressive stress, recorded in the failed plate, was 4.1 
ksi (point Y) indicating larger bearing of the first fastener. The maximum tensile stress, 
calculated between the failure plane and the first rivet in the non-failed plates (point Z), 
is 11.1 ksi. From the very small compressive stresses that develop in the model, we 
deduced that the major mechanism for load transfer is the combination of friction and 
fastener pre-tension. However the loss of the first rivet results in a larger contribution of 















































Figure 4.1.1-4. Longitudinal normal stress along the center of the plates for Case C. 
 
For Case D, the fasteners modeled were non pre-tensioned bolts, a 
friction coefficient of 0.16 was specified, and the obtained results are shown in Figure 
4.1.1-5. The transfer of load in this case takes place over a larger length due to slip. The 
diameter of the bolt is 0.875 inches and the diameter of the hole is 0.9375 inches (1/16 
inches oversize), which results in a transfer length of 22.5 inches or eight fasteners (point 
X). The maximum compressive stress calculated was 67.7 ksi, taking place before the first 
bolt in the failed plate (point Y). The maximum tensile stress calculated was 8.6 ksi, 
occurring between the failure plane and the first bolt (point Z). The large compressive 
stresses that develop at the surface of the fastener holes are a result of large bearing 
forces due to slipping of the failed plate and the very small frictional forces at the 














































Figure 4.1.1-5. Longitudinal normal stress along the center of the plates for Case D. 
 
The results for Case E, in which bolts were pre-tensioned to 65 ksi and a 
friction coefficient of 0.8 was used, are shown in Figure 4.1.1-6. The large bolt pre-
tension and the inclusion of friction in the model result in a very short length for transfer 
of load, within 7.5 inches (point X) or three bolts the entirety of the load transferal takes 
place. No significant compressive stress developed at any point in the failed cover plate. 
The maximum tensile stress computed by the finite element model is 8.6 ksi and takes 
place between the failure plane and the first bolt (point Z). The absence of significant 
compressive stress in the failed plate indicates that bolt bearing is not taking place in the 
finite element model; hence, the only mechanism for load transfer is the combination of 














































Figure 4.1.1-6. Longitudinal normal stress along the center of the plates for Case E. 
 
Figure 4.1.1-7 shows the results for Case F, which is as Case E except that 
the bolt located at the failure plane is not included, to model the condition in which the 
fastener is severely damaged and cannot exert any clamping. The results show that the 
load transfer is completed within 7.5 inches from the failure plane (point X), or in the 
first three bolts. In this case, compressive stresses develop in the bottom plane, before 
the first bolt (point Y), and have a maximum value of 5.3 ksi. The maximum tensile stress 
develops in the non-failed plates between the failure plane and the first bolt (point Z), 
and has a value of 11.2 ksi. As no clamping is exerted at the failure plane, the first bolt 
bears onto the plate surfaces. However given the small magnitude of the compressive 
stresses recorded and the short length required for load transfer, the main mechanism 














































Figure 4.1.1-7. Longitudinal normal stress along the center of the plates for Case F. 
 
The longitudinal normal stress profiles calculated at paths that go through 
the center of the plates show that the combined action of friction and fastener pre-
tension plays the most important role in the transferal of load between components in a 
fastened structural member. The results show very different behavior resulting from low 
friction and lack of fastener pre-tension. In the results for Case A and Case D, the 
transfer length is greatly increased and large compressive stress developed at the 
surface of the fastener holes diminishing as the distance from the failure surface 
increases. In the cases where large friction and fastener pre-tension are included in the 
finite element models, the larger pre-tension applied by bolts, in comparison to rivets, 
results in larger frictional forces at the contact interfaces which reduce the load-transfer 
length. According to the finite element models, loss of clamping at the failure plane 













































compressive stresses that developed before the first fastener surfaces in Case C and 




4.1.2 Longitudinal Normal Stress Calculated along the Edges of the Fastener Holes 
 
This set of results is used to verify the load-transfer lengths estimated in 
the previous subsection and investigate how friction and fastener pre-tension affects 
stress concentration at the edges of fastener holes. As in the previous subsection, the 
stress component of interest is the normal component aligned with the loading 
direction. The paths from which these data points are extracted go from the edge of the 
fastener hole in the center of a plate at the failure plane, running parallel to the loading 
direction, to the loading plane as illustrated in Figure 4.1.2-1. 
 
 
Figure 4.1.2-1. Longitudinal normal stress output paths along the edges of the fastener 
holes of each plate. 
 
In the next figures, from Figure 4.1.2-2 to Figure 4.1.2-7, the longitudinal 
normal stress along the top plate and bottom plate paths are averaged and presented as 
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a single curve for simplicity, due to the very small differences in the calculated stress 
values for the top plate and bottom plate paths. The same procedure takes place for the 
longitudinal normal stress values output from the middle plate paths since the 
difference between the results output for each path are minimal as well. In the following 
discussions, the load-transfer lengths estimated in the previous section will be verified 
by visual inspection of the finite element model outputs and special attention will be 
paid at the stress developed at the edges of the fastener holes. It is expected that larger 
fastener pre-tension will result in less stress concentration around the fastener holes. 
 
The results for Case A, low friction (friction coefficient of 0.16) model with 
“loose” rivets as fastener, which are shown in Figure 4.1.2-2, show that the majority of 
the transfer of load to the failed component takes place within the first six fasteners 
from the failure plane. The stress at the edge of the rivet hole in the non-failed plates is 
37.0 ksi at the failure section (point X) and increases to 43.9 ksi at the edge of the next 
fastener hole (point Y). At the first rivet hole from the failure section, in the failed plate, 





Figure 4.1.2-2. Longitudinal normal stress along the fastener hole edges for Case A. 
 
In Figure 4.1.2-3, the results from Case B are shown; in the finite element 
model the rivets were pre-tensioned to 15 ksi and a friction coefficient of 0.8 was used 
in the definition of contact. In this case, the stress at the failure plane in the non-failed 
plates is 36.5 ksi (point X) and 23.3 ksi at the first rivet hole from the failure plane (point 
Y). The stress value in the failed cover at the first rivet hole is 17.0 ksi (point Z). The 
reduction of this stress values for Case B, in comparison with the values obtained at the 
same locations in Case A, is attributed to two factors; the first one is that the clamping 
forces exerted around the hole due to pre-tension of the rivet generate compressive 
stresses tangential to the hole surface, and the second factor is that a larger portion of 
the load is not transferred through rivet bearing but through frictional force developed 
at the contact interface between the different components. The results also show that 














































Figure 4.1.2-3. Longitudinal normal stress along fastener hole edges for Case B. 
 
Figure 4.1.2-4 shows the results output for Case C, in which the rivets are 
pre-tensioned to 15 ksi and the friction coefficient used is 0.8 but the rivet at the failure 
section is not included in the finite element model. The stress computed at the failure 
section in non-failed plate is 42.3 ksi (point X) and 26.1 ksi at the first rivet (point Y). In 
the failed plate, the stress at the first rivet is 6.9 ksi (point Z). The lack of a rivet at the 
failure plane results in less load carried by frictional contact before the first rivet and 
larger deformation of the hole, this increases the stress concentration around the rivet 
hole at the failure plane in comparison with Case B. As discussed in the previous 
subsection, most of the transfer of load to the failed component takes place along the 















































Figure 4.1.2-4. Longitudinal normal stress along fastener hole edges for Case C. 
 
The results obtained for Case D, where the fastener used were non pre-
tensioned bolts and a friction coefficient of 0.16 was specified in the finite element 
model, are displayed in Figure 4.1.2-5. As indicated previously, the larger portion of the 
transfer of load into the failed plate takes place over the first eight bolts from the failure 
plane. The stress at the failure plane in the non-failed plates reaches 38.0 ksi (point X), 
and at the first bolt is 42.2 ksi (point Y). In the failed plate the stress at the first bolt is 
19.6 ksi (point Z). Since the main mechanism for the transfer of load between the plates 
is bolt bearing, the stresses at the edges of the holes are significantly higher than in the 
















































Figure 4.1.2-5. Longitudinal normal stress along fastener hole edges for Case D. 
 
The influence on the load-transfer behavior of fastener pre-tension and 
friction is show in Figure 4.1.2-6, where the results for Case E are plotted. In this case, 
the bolts were pre-tensioned to 65 ksi and the friction coefficient was input as 0.8. As 
calculated in the previous subsection, the transfer of load takes place over the first four 
bolts away from the failure plane. The stress in the non-failed plates at the failure plane 
is 26.8 ksi (point X) and decreases to 13.2 ksi at the first bolt (point Y).  In the failed 
plate, at the first bolt away from the failure plane, the stress is 20.7 ksi (point Z). Since 
the frictional effects are increased due to the higher pre-tension of the bolt, the failed 
plate is able to develop higher stress over a shorter length. The tangential compressive 
stresses that develop around the surface of the bolt hole mitigate the stress 















































Figure 4.1.2-6. Longitudinal normal stress along fastener hole edges for Case E. 
 
In the finite element model for Case F, in which the bolt pre-tension and 
friction was modeled as in Case E, the bolt at the failure plane is not included. The 
results for this case, shown in Figure 4.1.2-7, show that the stress in the non-failed plates 
at the failure plane reaches 42.7 ksi (point X), and decreases to 11.4 ksi at the edge of 
the first bolt from the failure plane (point Y). The stress at the edge of the first bolt in the 
failed cover plate is 16.4 ksi (point Z). The lack of pre-tension at the failure plane results 
in an increased stress concentration in the non-failed plate at the failure plane in 
comparison with Case E. This reduced pre-tension results in less load carried by the non-
failed plate, hence the significantly lower stress concentration in the failed plate at the 
first fastener. It can be observed that the load-transfer is completed within the first four 















































Figure 4.1.2-7. Longitudinal normal stress along fastener hole edges for Case F. 
 
The results obtained from finite element models for the six different case 
show that the stresses developed at the edges of the fastener holes diminish when 
clamping forces are present, as exemplified in Case B and Case E, which included pre-
tensioned fasteners at the failure section and where the stresses calculated at the edge 
of the fastener hole located in the failure section were the lowest. The highest stress at 
the failure plane were output for Case C and Case F, in which no fasteners were 
modelled at the failure plane. 
 
The highest stress values, in the non-failed and in the failed plates, were 
calculated at the first fastener location in the models with no fastener pre-tension and 
low friction included, Case A and Case D. These highest stress values are caused to the 













































fastener pre-tension and bolt bearing being the main mechanism for the transfer of 
load. However; in Case E, stress values calculated in the failed plate at the first fastener 
away from the failure plane are comparable to those computed for Case A and Case D, 
this is because load transfer takes place over a very short length in Case E and a large 
portion of the load-transfer had taken place between the failure plane and the first bolt. 
 
 
4.1.3 Longitudinal Normal Stress through Plate Thickness after Completion of Load 
Transfer 
 
In this subsection the longitudinal normal stresses calculated for each of 
the cases modeled are along the plate thickness once load transfer has already taken 
place. The results shown in this section are used to describe how the stress distribution 
along changes through the thickness of the plates due to the friction and fastener pre-
tension. The path from which the data is collected is halfway between the last and the 
second-to-last fastener, goes through the three plates perpendicular to the loading 
direction and the plates contact surfaces, as displayed in Figure 4.1.3-1. The stress 





Figure 4.1.3-1. Longitudinal normal stress output paths through the thickness of each 
plate. 
 
The obtained longitudinal normal stresses are shown in Figure 4.1.3-2 for 
the all of the cases. Results for Case B and Case C were averaged because the differences 
in the stress distribution after load-transfer was completed were negligible. As with Case 
B and Case C, the results for Case E and F were averaged as well. In the cases where low 
friction and no fastener pre-tension were included in the finite element model, Case A 
and Case D, the stress distribution is almost linear. The stresses computed for Case D, 
average of 5.7 ksi, are slightly smaller than in Case A, average of 6.0 ksi, because of small 





Figure 4.1.3-2. Longitudinal normal stress through plate thickness. 
 
The effect of friction and fastener pre-tension becomes very evident, and 
more marked in Case E and Case F than in Case B and Case C due to the higher clamping 
forces exerted by bolts in comparison with rivets. In these, the longitudinal normal stress 
increases in the top and bottom plate as the exterior surfaces are approached. In Case B 
and Case C the stress increases from 5.2 ksi to 10.2 ksi in top and bottom plates. In Case 
E and Case F, the stress increases from 0.5 ksi to 13.7 ksi in top and bottom plates. The 
failed (middle) plate carries less load than in the low friction cases, and the stresses 
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4.1.4 Tangential Normal Stresses around Fastener Holes 
 
Fastener pre-tension generates clamping forces that result in compressive 
stresses that are tangential to the surface of the fastener hole. These compressive 
stresses are examined in this section, the stress component of interest is the normal 
stress tangential to the surface of the fastener and perpendicular to the axis of the 
fastener. Due to the high sensitivity to the mesh size of these results, additional models 
in which the mesh size was increased to 8 elements and 12 elements through the 
thickness of each plate were developed; the other element dimensions were reduced in 
proportion. An additional model in which the penalty stiffness was increased and fixed 
to 10
6
 kips/inch was also developed. The only applied load in the finite element models 
utilized in this subsection is caused by fastener pre-tension, no axial loads were applied 
to the plates, and the friction coefficient in all of the models was 0.8. 
 
The following two figures, Figure 4.1.4-1 and Figure 4.1.4-2 show these 
tangential stresses along the thickness of the plates. The results shown are the average 
of the stress calculated at 48 different output paths; although, the stresses calculated at 
different paths show noticeable differences, the average values are plotted for simplicity. 
The tangential stresses resulting from rivet pre-tensioned to 15 ksi are shown in Figure 





Figure 4.1.4-1. Tangential stresses around the hole of a rivet pre-tensioned to 15 ksi. 
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In both of the figure, Figure 4.1.3-1 and Figure 4.1.3-2, the results show 
that these compressive stress were, in fact, developed around the fastener hole, but 
tensile stresses may develop at the contact interfaces. The results are not quantitatively 
useful in any of the cases and a more refined study in which experimental 
measurements are available should be performed to properly address whether tensile 
tangential stresses could develop in the proximity of the plate contact interfaces. 
However, it is reasonable that these tangential stresses are higher in the plates in 
contact with the fastener head and lower in the middle plate. It is also expected that the 
magnitude of this tangential stresses is highest at the surface directly in contact with the 
fastener head, and that they decrease as the other surface is approached. For plates in 
which one surface is in contact with a fastener head and the other is contact with 
another plate, fatigue cracks growing from the edge of fastener holes typically emanate 
from the surface that is in contact with another component, as shown in Figure 4.1.3-3; 
this corroborates that the tangential compressive stresses are lower in that location, but 
it does not necessarily support that tensile tangential stress are developed. 
 
 
Figure 4.1.4-3. Detail of fatigue damage emanating plate-to-plate contact interface. 
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4.2 Results and Discussion of Finite Element Models of Flexural Fastened Built-Up 
Members 
 
Four sets of results are presented and discussed in this section for the 
finite element models described in section 3.7.2. In the first set of results, experimental 
stress ranges recorded by the strain gages are compared with stress range profiles 
calculated by finite element analysis at the locations described in Figure 3.7.2-5 for both 
riveted and bolted structural members modeled. Next, the calculated longitudinal 
normal stress ranges along the cover plate length are used to assess the load-transfer 
differences resulting from the use of rivets or bolts. Then, the stress range profiles at the 
bottom surface of the flange angles are compared to assess the most critical section for 
fatigue damage initiation after the failure of the cover plate for both cases, riveted and 
bolted. Finally, the load carried at the failure section in the cover plate as fatigue 




4.2.1 Comparison of Experimental and Computational Results for Fastened Built-Up 
Members 
 
The main objective of this subsection is the validation of the methods 
described throughout chapter 3 with experimental results. For each of the cases 
modeled, riveted and bolted flexural members, stress range estimates from strain gages, 
located as detailed in Figure 3.7.2-5, are plotted along with the stress range profiles at 
the sections A, B, C and D. In each of the sections, stress range calculated profiles and 
experimental estimates are plotted before any fatigue damage occurs to the cover plate 
and after the cover plate has failed in fatigue. The stress component of interest in the 
data shown throughout this section is the longitudinal normal stress, aligned with the 
larger dimension of the flexural member. 
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First, the results for the riveted built-up member are shown. In the finite 
element model of a riveted built-up member, the rivet pre-tension applied was 15 ksi 
and the friction coefficient used was 0.8. Figures 4.2.1-1, 4.2.1-2, 4.2.1-3 and 4.2.1-4 
show comparisons between the stress ranges measured in the experiment and the 
stress range profiles calculated in the finite element analysis. The stress range profiles 
from finite element analysis are close to the stress ranges measured in the experiment. 
A perfect match between experimental and computational results was not expected. 
 
The stress range calculated by finite element analysis when no damage in 
the cover plate was modeled overly predicts the experimental measurements by an 
average of 1.85 ksi, the range is 1.06 to 3.63 ksi over the experimental measurements. 
This is attributed to the presence of small notches at the failure section in the 
experiment, see Figure 3.7.2-4, that result in less load carried by the cover plate; these 
were not explicitly included in the finite element analysis. On the other hand, the 
experimental stress range measurements lie closer to the computational results, with 
estimates 0.14 ksi higher than in the experiment on average. A maximum overestimation 
of 3.17 ksi and maximum underestimation of 1.85 ksi with respect to the experiment 
when the cover plate has failed take place at section A. The comparison between results 
from finite element analysis and strain gage measurements for modeling riveted built-up 
members suggest that the modeling methods described throughout the methodology 
are adequate, and that rivet pre-tension of 15ksi and friction coefficient of 0.8 are good 
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Figure 4.2.1-4. Stress range comparison at section D for riveted flexural member. 
 
Figures 4.2.1-5, 4.2.1-6, 4.2.1-7 and 4.2.1-8 show comparisons between 
the stress ranges measured in the experiment and the stress range profiles calculated by 
finite element analysis for a bolted built-up member. In this case, the bolts were pre-
tension to 65 ksi, the friction coefficient input was 0.8 as in the riveted case. Although 
prefect correlation was not expected, the computational results are very close to the 
strain gage measurements. 
 
When the cover plate has not failed, the stress range profiles calculated 
by finite element analysis overestimate the experimental measurements by an average 
of 1.19 ksi, the maximum overestimation is 1.92 ksi and the minimum is 0.86 ksi. As with 
the riveted member, these large computed stress range are attributed to the notches at 
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failure of the cover plate are closer, on average the finite element stress range are 0.15 
ksi lower that the experimental measurements, with a maximum overestimation of 1.08 
ksi and a maximum underestimation of 2.05 ksi. According to comparison between finite 
element results and strain gage measurements, the proposed methodology in chapter 3, 
along with the assumptions of bolt pre-tension of 65 ksi and friction coefficient of 0.8, 
yields satisfactory results for modeling bolted built-up members. 
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Figure 4.2.1-8. Stress range comparison at section D for bolted flexural member. 
 
The effect of fastener pre-tension is evident from the comparison 
between the results for riveted and bolted cases. At section B, Figure 4.2.1-2 for the 
riveted member and Figure 4.2.1-6 for the bolted member, the difference in the stress 
ranges before and after the failure of the cover plate is about 5 ksi larger in the riveted 
case, showing superior ability of the bolted member to transfer load due to higher 
fastener pre-tension. 
 
If examination of finite element results is focused on the stress 
concentrations at the edges of the fastener holes, the stress ranges for the riveted cases 
at those locations are on average 37.6 ksi before failure of the cover plate and 30.6 ksi 
afterwards, while in the bolted cases are on average 26.5 ksi before failure of the cover 
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ranges at the vicinity of the fastener hole are caused by larger compressive stress 
tangential to the fastener hole surface resulting from higher pre-tension in the bolted 
case modeled than in the riveted case. 
 
 
4.2.2 Comparison of Load-Transfer Length between Riveted and Bolted Flexural Built-Up 
Members 
 
Although the effect of fastener pre-tension was discussed in the previous 
subsection, in this subsection the longitudinal normal stress range along the center of 
the cover plate is used to calculate the load-transfer length and the draw comparisons 
between the behaviors of riveted and bolted flexural built-up members. First, the stress 
range profiles along the center of the cover plate calculated by finite element analysis of 
the riveted member are shown in Figure 4.2.2-1, in which the profiles before and after 
failure of the cover plate are plotted. In this figure it can be seen that the transfer of load 
from the non-failed components to the failed cover plate takes place over the first 60 
inches from the failure plane or 12 rows of rivets, based on a difference of 5% between 




Figure 4.2.2-1. Stress range along the center of the cover plate for the riveted case. 
 
The stress range profiles along the center of the cover plate calculated by 
the finite element analysis of the bolted member are shown in Figure 4.2.2-2. As in the 
riveted case, the profiles before and after the failure of the cover plate are shown, and 
the load-transfer length is estimated based on a 5% difference between the stress range 
computed before and after the cover plate has failed. In this case, the length in which 
the transfer of load from the failed components to the failed cover plate takes place is 
25 inches or 5 rows of rivets. The larger pre-tension in the bolts, 65 ksi, in comparison 
with the rivets, 15 ksi, leads to the development of larger frictional forces at the 
interface between the bottom flange angles and the cover plate, which results in 
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Figure 4.2.2-2. Stress range along the center of the cover plate for the bolted case. 
 
 
4.2.3 Assessment of Most Critical Section for Fatigue Damage Initiation after Failure of 
the Cover Plate 
 
In this subsection, the longitudinal normal stress ranges computed from 
finite element analysis are used to estimate the location of the section most susceptible 
to initiation of fatigue damage after the failure of the cover plate. In the experiments the 
next component in which fatigue damage initiated was one of the bottom flange angles 
where the fatigue crack emanated from the edge of a fastener hole close to the failure 
section; hence, the longitudinal stress range profiles at the failure section and at the 
next two fasteners (5 inches and 10 inches away from the failure section) are output 
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In Figures 4.2.3-1, 4.2.3-2 and 4.2.3-3 the longitudinal stress ranges for 
the riveted case are shown at sections in the bottom surface of the bottom flange angle 
at the failure plane, 5 inches and 10 inches away from the failure plane, respectively. In 
all three of the profiles the maximum calculated stress range is close to 35 ksi and a large 
amount of plastic deformation takes place in the vicinity of the fastener as indicated by 
decaying stress range profiles when approaching the surface of the fastener hole. The 
differences between the three profiles are not sufficient to estimate where fatigue 
damage will initiate, all three of the sections appear equally critical. In the experiments 
fatigue damage initiated at a rivet located 5 inches way from the failure plane. 
 
 
Figure 4.2.3-1. Longitudinal stress range at failure plane, bottom surface of bottom 













































Figure 4.2.3-2. Longitudinal stress range 5 inches away from failure plane, bottom 












































Figure 4.2.3-3. Longitudinal stress range 10 inches away from failure plane, bottom 
surface of bottom flange angle, for the riveted case. 
 
The longitudinal stress ranges for the bolted case, at sections located in 
the bottom surface of the bottom flange angle at the failure plane, 5 inches and 10 
inches away from the failure plane are shown in Figures 4.2.3-4, 4.2.3-5 and 4.2.3-6, 
respectively. Contrary to the riveted case, finite element analysis of the bolted case 
output very different stress range profiles at the three locations. Although the fatigue 
damage is mainly characterize by the stress range, large plastic deformation is taking 
place at the section located at the failure plane, Figure 4.2.3-4, as indicated by a severely 
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At the sections located at 5 inches and 10 inches from the failure plane, 
Figure 4.2.3-5 and 4.2.3-6, the maximum stress ranges are 36.9 ksi and 42.1 ksi, 
respectively, however the stress range profile does not decay as severely as at the failure 




Figure 4.2.3-4. Longitudinal stress range at failure plane, bottom surface of bottom 












































Figure 4.2.3-5. Longitudinal stress range 5 inches away from failure plane, bottom 












































Figure 4.2.3-6. Longitudinal stress range 10 inches away from failure plane, bottom 
surface of bottom flange angle, for the bolted case. 
 
According to the previously shown results, large fastener pre-tension has 
the effect of “shielding” the flange angle at the section where the cover plate failure 
plane is located. As load is transferred over a much shorter length in the bolted case 
than in the riveted case, the locations where fatigue damage is more likely to initiate due 
to the failure of an adjacent component are constrained to the closest stress 
concentration mechanism to the initial failure section, which in this case is the bolt hole. 
This “shielding” effect is reflected by the very different stress range profiles obtained for 
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4.2.4 Effect of Fastener Pre-Tension on Load Carried at the Failure Section and Member-
Level Redundancy 
 
In this subsection we will focus on the load carried at the failure section in 
the cover as a flaw propagates through it. No fatigue damage modeling was explicitly 
included in the finite element analysis. Instead, crack propagation was modeled through 
release of the displacement boundary conditions at the failure section as described in 
subsection 3.7.2, and illustrated in Figure 3.7.2-7. Load at the failure section in the cover 
plate is expected to be the same regardless of the fastener utilized before any cracking 
occurs; however, if alternative load paths exist in the member, the load at the section 
will decrease as a flaw propagates through the section. The magnitude of the reduction 
in load carried at the failure section is proportional to the number and capacity of the 
alternate load paths, hence proportional to the internal redundancy of the structural 
member (member-level redundancy). 
 
Firstly, the load range carried at the failure plane is plotted against the 
percent of the section for which the displacement constraint has been released in Figure 
4.2.4-1, for both cases modeled.  The bolted built-up member is able to distribute a 
larger portion of the load away from the failing section than the riveted built-up 
member. This ability to re-distribute load into the rest of components is a symptom of a 
higher degree of internal redundancy due to higher friction forces developed at the 
contact interface due to the larger pre-tension exerted by the bolts, 65 ksi, than the 





Figure 4.2.4-1. Comparison of load ranges as crack propagated through the failure 
section. 
 
In Figure 4.2.4-2 the average net section stress ranges were calculated 
based on the load ranges shown in Figure 4.2.4-1. Net section stress ranges at the failure 
section is higher in the riveted case than in the bolted case, and in both cases they keep 
increasing as the flaw propagates. Both structural members offer alternate load-paths 
that are sufficient to reduce the load carried at the failure section without collapsing, 
but they are not redundant enough to maintain the same average stress range at the 
failure section. Since stress range is the most critical parameter in the assessment of 
fatigue resistance and the average net section stress range increases as a flaw 
propagates, fatigue damage will propagate at higher rates as the crack size increases. 
Due to the lower stress ranges calculated in the bolted case for any flaw size, fatigue 






























Figure 4.2.4-2. Comparison of average net section stress ranges as crack propagated 
through the failure section. 
 
In order to assess the potential for fracture, a stress intensity parameter, 
^. . ., was calculated based on the maximum load carried at the failure section, +,-, 
not the load range, the gross cross-sectional area, _, and the size of the flaw,	`, for 
every 20% of failed section as: 
 
^. . . = +,-_ √` 
 
The stress intensity parameter as the crack propagates is shown in Figure 












































parameter is lower for the bolted model, indicating that failure due to fracture is less 
likely in the bolted built-up flexural member than in the riveted one. In both cases, 
riveted and bolted, the stress intensity parameter seems to decrease roughly after 60% 
of the section has failed. 
 
 
Figure 4.2.4-3. Comparison of stress intensity factor as crack propagated through the 
failure section. 
 
Based on the results shown throughout this subsection, larger fastener 
pre-tension results in lesser load carried at the failure section in the cover plate as 
fatigue damage propagates. Since the bolted member have better alternate load-
carrying paths than the riveted member, a larger portion of the load is carried by those 
alternate paths away from the failure section at the cover plate, reducing the average 







































CHAPTER 5. CONCLUSIONS 
 
Three objectives were set in this study: development of a finite element 
methodology for mechanical quasi-static analysis of members with fastened 
components, characterization of the mechanical effects of combined fastener pre-
tension and friction at the contact interfaces, and detailed finite element analysis of 
fastened built-up members focused on member-level redundancy effects on fatigue and 
fracture resistance. With respect to the first objective, results from finite element 
analysis of built-up members were compared with experimental measurements in 
subsection 4.2.1 in order to validate the finite element analysis methodology described 
in chapter 3. In this comparison, the stress range values output form finite element 
analysis were very close to the strain gage measurements, with slightly worse correlation 
at locations closer to the failure section. The methodology described in chapter 3 was 
validated and used to fulfill the other two objectives. 
 
Finite element models of three fastened plates, in which the middle plate 
had failed, were created and analyzed to describe how frictional forces at the contact 
interfaces resulting from fastener pre-tension affect the mechanical behavior of a 
member with fastened components. Larger fastener pre-tension values and friction 
coefficients resulted in larger frictional forces at the contact interfaces which 
significantly reduced the length required to transfer load between components. While in 
the models with low friction coefficient, 0.15, and no pre-tension the transfer of load 
took place over five fasteners or more; when minimum bolt pre-tension was used, 65 ksi 
[4], and a high friction coefficient, 0.8 [19], was input the transfer of load was completed 
within three fasteners. For typical rivet pre-tension of 15 ksi [26] and a friction 
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coefficient of 0.8 were used [19], the transfer of load took place within four rivets. 
Higher fastener pre-tension also relieved the stress concentrations at the edges of the 
fastener holes. However, according to the results discussed in subsection 4.1.4, at the 
contact interfaces between plates, fastener pre-tension could be ineffective or counter-
effective against stress concentrations at the edges of fastener holes. Experimental 
measurements are required to validate this claim due to the high mesh sensitivity of the 
results obtained from finite element analysis. 
 
Two built-up fastened flexural members were analyzed for member-level 
redundancy effects on fatigue and fracture resistance: a riveted case and a bolted case. 
Based on the shorter length required to transfer load from the non-failed components to 
the failed cover plate, subsection 4.2.2, and the larger reduction of load carried at the 
failure section as fatigue damage propagates, subsection 4.2.4, occurring in the bolted 
member in comparison with the riveted member, it can be concluded that larger 
fastener pre-tension results in more alternate sufficient load-carrying paths due to 
frictional forces at the contact interfaces. The higher redundancy of the bolted member 
also resulted in slower fatigue damage propagation and lesser fracture risk, subsection 
4.2.4. Once the cover plate failed, the most critical locations for fatigue damage 
initiation in the bolted model were constrained to the bottom flange angle section in the 
same plane as the cover plate failure section, while in the riveted model this most 
critical location was not unique. 
 
The main conclusion of this study is that high fastener pre-tension can 
greatly improve the internal redundancy of a built-up member through friction between 
components, and the effect of this higher level of redundancy is an increase in fatigue 
and fracture resistance by “shedding” load away from the failing component to the rest 
of the components in the member through alternate load paths. Large fastener pre-
tension could also mitigate the potential for fatigue or fracture damage due to the 
compressive stress that develop tangentially to the surface of the fastener hole and 
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normal to the fastener axis. However, this stress must be experimentally measured at 
locations close to the contact interfaces since results from finite element analysis 
showed that tensile stress may develop at these locations. Whether better fatigue 
resistance of bolted details in comparison to riveted details is due to member-level 
redundancy or compressive stress fields at the surface of the fastener hole needs to be 
studied. The proposed finite element methodology yields results that, when combined 
and validated with experimental measurements, can help understand better the role of 
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APPENDIX A. MATERIAL MODELS INPUT DATA 
 
 
Tables A1 and A2 show the material input that are common to all 
instances in the finite element models of fastened built-up flexural members. Tables A3 
and A4 show the tabular data input to an isotropic hardening plasticity model for the 
bottom cover plate and bottom flange angles, respectively. 
 
Table A1. Damping and density common to all materials modeled. 








Damping Alpha 10 
 
Table A2. Elastic material properties input to all materials modeled. 
ISOTROPIC LINEAR ELASTIC 
Young’s Modulus 29000 ksi 
















ISOTROPIC PLASTIC HARDENING 
Yield Stress Plastic Strain Yield Stress Plastic Strain 
(ksi) (-) (ksi) (-) 
63 0 82 0.027177 
63 0.002 83 0.030642 
64 0.002337 84 0.034499 
65 0.002725 85 0.038786 
66 0.00317 86 0.043547 
67 0.003679 87 0.048827 
68 0.00426 88 0.054676 
69 0.004922 89 0.061147 
70 0.005675 90 0.068298 
71 0.006531 91 0.076193 
72 0.007501 92 0.084898 
73 0.008598 93 0.094488 
74 0.009837 94 0.10504 
75 0.011235 95 0.11664 
76 0.01281 96 0.12938 
77 0.014579 97 0.143356 
78 0.016566 98 0.158675 
79 0.018792 99 0.175451 





Table A4. Plastic tabular data input for material model of bottom flange angle. 
ISOTROPIC PLASTIC HARDENING 
Yield Stress Plastic Strain Yield Stress Plastic Strain 
(ksi) (-) (ksi) (-) 
57.1 0 75 0.027012 
57.1 0.002 76 0.030653 
58 0.002322 77 0.034727 
59 0.002734 78 0.039279 
60 0.003209 79 0.044359 
61 0.003758 80 0.050019 
62 0.004389 81 0.056316 
63 0.005113 82 0.063315 
64 0.005943 83 0.071082 
65 0.006891 84 0.079692 
66 0.007972 85 0.089223 
67 0.009203 86 0.099763 
68 0.010601 87 0.111403 
69 0.012186 88 0.124246 
70 0.01398 89 0.138397 
71 0.016008 90 0.153976 
72 0.018294 91 0.171105 
73 0.020869 91.4 0.178422 





APPENDIX B. DRAWINGS OF SPECIMENS TESTED 
 
 
The following figures, Figure B1 to Figure B3, are sketches of the girders 
tested by Matt Hebdon at the Bowen Laboratory at Purdue University under the 
supervision of Professor Robert J. Connor. These drawings have been created by Matt 






























Figure B3. Specimen top and bottom view of top flange. 
